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Residual Strength Prediction of Aircraft Fuselages
Using Crack-Tip Opening Angle Criterion

Chuin-Shan Chen,* Paul A. Wawrzynek,T and Anthony R. Ingraffeai
Cornell University, Ithaca, New York 14853

Ductile tearing simulation and residual strength prediction of wide-body, lap-jointed fuselage panels are con-
ducted. The damage configurations of the fuselage panels consist of a single lead crack and a lead crack with small
multiple-site damage (MSD). The crack-tip opening angle fracture criterion and elastic-plastic finite element anal-
ysis are used to control stable crack advancement under conditions of general yielding. Thin-shell finite elements
are used to model the fuselage structures except in the vicinity of cracks. In this region special plane-strain shell
elements are used to capture three-dimensional constraint effects during stable crack growth. A global-local mod-
eling procedure is employed in the numerical analyses. We show that accurate representation of the load transfer
through the rivets is crucial for the stress distribution prediction. Modeling fatigue crack closure is essential to
capture the fracture behavior at ductile tearing initiation. Breakage of a tear strap can have a major influence on
residual strength prediction. Predicted crack growth and residual strength considering fatigue crack closure and
tear strap failure agree reasonably well with test results. Observed and predicted results both indicate that the
occurrence of small MSD cracks substantially reduces the residual strength.

I. Introduction

ODERN aircraft structures are designed using a damage
tolerance philosophy.! This philosophy envisions sufficient
strength and structural integrity of the aircraft to sustain major dam-
age and to avoid catastrophic failure in the presence of discrete
source damage. However, as the aircraftis operated beyond its orig-
inal design life, simultaneous presence of small fatigue cracks at
adjacent structural details might occur. Such a damage scenario,
known as multiple-site damage (MSD), might be too small to be
detected and can lead to a catastrophic failure in flight> Concern
for the safety of aging aircraft prompts the development of a reli-
able methodology for simulating stable crack growth and predicting
residual strength of pressurized fuselages with MSD. An accurate
and reliable analysis methodology allows engineers to maintain ag-
ing aircraft economically while ensuring continuous airworthiness.
Consequently, it improves the technology to support the safe op-
eration of the current aircraft fleet as well as the design of more
damage-tolerantaircraft for the next generation fleet.
Inrecognitionof theneed, NASA initiated the Airframe Structural
Integrity Program (ASIP)* to develop advanced analysis method-
ologies for assessing damage tolerance of aging aircraft. The work
presented in this paper is part of the developments under the ASIP
program. The goal is to develop a computational analysis method-
ology to predict residual strength of built-up aircraft fuselages.
The behavior of lead and MSD cracks in fuselage structures is
mainly dominated by bulging and plasticity effects.* Structures with
bulging, or out-of-plane deformation at crack edges caused by pres-
sureloading,typicallyundergolarge displacementsand rotations. To
model this behavior, large deformation analysis that establishes the
nonlinear equilibrium state of structures in an unknown, deformed
configurationis required. Formulations for uncracked stiffened thin
shells are well developed, and general finite element programs are
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capable of handling this class of problem. The readers are referred
to Ref. 5 for more in-depth discussion of such formulations.

Plasticity effects in the vicinity of crack tips play a key role in
characterizing fracture processes in thin-sheet metallic structures.
Various methods have been developed over the past few decades to
predict crack growth in metals. However, for thin-sheet materials
exhibiting a large amount of plasticity and stable crack growth prior
to failure there is no consensus on the most satisfactory method.®’
Two common fracture parameters exist in the literature, the J inte-
gral and the crack-tip opening angle (CTOA).*° The J integral is
known to be an effective parameter to characterize the intensity of
the near-tip stress and deformation fields for stationary cracks sub-
jected to monotonic loadings but loses its significance as a crack-tip
parameter for extended amounts of crack growth accompanied by
elastic unloading”’ Recently, the T integral has been developed to
characterize the energy dissipated in such cases.'’

The CTOA fracturecriterion has long been recognizedas a viable
fracture parameter for modeling stable crack propagationin ductile
materials.” The CTOA criterionis a local fracture parameter assum-
ing that the near-tip plastic strains, thus the near-tip displacements,
in the vicinity of a crack control fracture. Comparisons between
the energetic approach (J and T*) and the CTOA approach can be
found in Refs. 11 and 12. The CTOA fracture criterion has been
successfully applied to predict residual strength of thin-sheet alu-
minum flat panels'>'* and will be used for subsequent simulations
in this study.

Built-up lap-jointed aircraft fuselages, consisting of skins, tear
straps, stringers, frames, and stringer clips, are geometrically com-
plicated and innately three-dimensional. Modeling crack growth
processes inevitably increases this complexity. In this study a soft-
ware system FRANC3D/STAGS has been developed to model the
fracture processes in aircraft structures'>'® [data also available on-
line at www.cfg.cornell.edu (cited 1 July 2000) for the Cornell
Fracture Group, FRANC3D Version 1.14 Thin Shell Tutorial Guide
(DRAFT)]. The program is capable of tracing geometry evolution
during crack growth using FRANC3D'” and performing nonlinear
thin shell analysis using STAGS. '8

The paperis organizedas follows. In Sec. Il recent developments
of the CTOA fracture criterion for residual strength prediction are
reviewed. Full-scale wide-body fuselage panel tests used to validate
the criterion and software being developed are briefly outlined in
Sec. III. Finite element models for crack growth analysis in lap-
jointed fuselage panels are presented in Sec. IV. Calibration of the
critical CTOA (CTOA.) from laboratory flat panel tests are de-
scribed. Calculated stress distributions are compared with strain
gauge readings in Sec. V. Comprehensive comparisons between
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predicted and measured crack growth and residual strength are pre-
sented in Sec. VI.

II. CTOA Fracture Criterion

The CTOA fracture criterion is based on crack-tip opening dis-
placement (CTOD) concept proposed by Wells.'” Because the
CTOD has a limiting value of zero at the crack tip, the local slope of
the crack-tip opening profile, or CTOA, was suggested to character-
ize the crack growth behavior2®?' Newman,?? Rice and Sorensen,
and Kanninen and Popelar’ further defined the CTOA as the CTOA
measured at a fixed distance behind the moving crack tip.

The CTOA fracture criterion asserts that the angle maintains a
constant value during stable crack growth for a given thickness
of a metallic material. The definition of CTOA as suggested by
Newman?? is adopted. For Mode-I only deformations it is defined
as (Fig. 1)

CTOA = 2tan"'(§/2d) (1

where § is the CTOD measured at a specific distance d behind the
crack tip. For mixed-mode problems the opening angle is obtained
from the cross product of two vectors:

CTOA = sin-! 142l
llell Bl

where a and b are the vectors from the crack tip to crack edges at a
specific distance d behind the crack tip.

Previous studies for residual strength prediction using two-
dimensional elastic-plastic analyses reached a mixed degree of
success.”? Typically, the predicted residual strength would agree
with test results up to a certain width of the panels. The discrepancy
between two-dimensionalpredictionsand test results for larger pan-
els was determined to be related to the three-dimensionalconstraint
effects. Although thin-sheet structures behave essentially in plane
stress, the constraintcaused by the finite thickness of the specimens
can cause the regions local to the crack tip to approach plane-strain
conditions 2*~2¢ The observation can be also inferred from the mi-
croscopic behavior because ductile fracture of metals is basically
a result of microvoid nucleation, growth, and coalescence?’ Thus,
the main parameters control fracture are plastic strains (or CTOA)
and stress triaxiality (constraint).

Extensive numerical studies of two- and three-dimensional
elastic-plastic fracture analyses have been conducted to investi-
gate the constraint effects on residual strength prediction2%28=30
From these studies it has been concluded that although three-
dimensional simulations are ideal to quantify the constraint ef-
fects, two-dimensional simulations with the plane-strain core con-
cept (Fig. 2) seem adequate to assess residual strength prediction.
We adopt the plane-straincore conceptfor the subsequentthin-shell
finite element analyses.

2

Fig.1 Illustration of CTOA definition.
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Fig.2 Schematic of the plane-strain core.

III. Full-Scale Fuselage Panel Testing

The full-scale fuselage panel tests investigated in this study were
performed on a wide-body pressure test fixture with a radius of
curvature of 127 in. (3226 mm). The tests, funded by the Federal
Aviation Administration (FAA) and performed by the Boeing Com-
mercial Airplane Group, were intended to characterizecrack growth
in a generic wide-body, lap-jointedfuselage configurationsubjected
to MSD. A brief overview of the panel tests is presentednext. More
informationaboutthe fixtures and tests can be foundin Refs. 31-34.

Two identical curved lap-jointed panels were fabricated. The test
panels were designed to simulate typical wide-body fuselage crown
structures consisting of bonded tear straps and floating frames con-
nected to hat section stringers with stringer clips. Skins and tear
straps were made of 0.063-in. (1.6-mm)-thick, 2024-T3 clad alu-
minum alloy. Stringers, frames, and stringer clips were made of
7075-T6 clad aluminum alloy. The skins were joined by the lap
joints. The joint was a typical three-row configuration assembled
using standard %—in. (4.8-mm)-diam, 100-deg countersunk-head
rivets with rivet spacing of 1.07 in. (27.2 mm) in the tear strap re-
gion. The tear straps were hot bonded to the skins at each frame
station. The outer and inner tear straps were overlapped above the
lap joint. The detailedrivet distributions and detailed dimensions of
panels, frames, stringers, and stringer clips can be found in Refs. 33
and 34.

A 5-in. (127-mm) initial saw cut was inserted along the upper
rivet row in the outer skin. For the panel with MSD cracks, small
0.05-in. (1.27-mm) sawcuts were inserted in the outer skin after the
rivet holes had been drilled but prior to the application of the fay
sealantand rivet installation. The panels were subjected to pressure
cycling until the length of a fatigue crack reached about two frame
bays. The central frame was then cut, and the panels were loaded to
failure statically. Rosette strain gauges were installed back to back
on the skins and tear straps in the vicinity of the lap joint.

IV. Numerical Model

A. Modeling Strategy

In the present work all structural components including skins,
stringers, and frames are modeled by displacement-based four-
noded or five-noded quadrilateral shell elements.'®*> Each node of
the shell element has six degrees of freedom. To analyze the panel
tests with reasonable computer resources and sufficient accuracy,
a global-local approach is used. Figure 3 shows the typical finite
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Fig.3 Global and local finite element models.
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element meshes for the two hierarchical modeling levels employed
in the simulations. A 12-stringer-bay wide and 5-frame-bay long
panel, which is about the size of the test panel, is modeled at the
global level. A 1 x 1 bay stiffened panel is modeled at the local
level. The local model differs from the global model in the finite
element mesh density and the detailed geometric modeling of the
cross-sectional shapes of stringers and frames.

Pressure loading is applied on all of the external skins. Symmet-
ric boundary conditions are imposed on all of the boundary edges
of the global model to simulate a cylinder-like fuselage structure.
Uniform axial expansion is allowed at one longitudinal end. On
this boundary edge an axial force equal to (PR/2) - L is assigned,
where P is the applied pressure, R is the radius of the panel, and
L is the arc length of the edge. The kinematic boundary conditions
(displacements and rotations) applied along the boundaries of the
local model are extracted from the global model results. In addition
to these kinematic constraints, the local model is also subjected to
internal pressure.

A piecewise linear idealization is used for the uniaxial stress-
strain curves for 2024-T3 and 7075-T6 aluminum alloys (Figs. 4
and 5). Rivets are modeled by one-dimensional elastic-plastic fas-
tener elements that connect finite element nodes in the upper and
lower skins and tear straps. Each fastener element has six degrees of
freedom, corresponding to extension, shearing, bending, and twist-
ing of the rivet. The stiffness of each degree of freedom is defined
by prescribing a piecewise linear force-deflection curve. The axial,
flexural, and torsional stiffnesses of the fastener element are com-
puted by assuming that the rivet behaves like a simple elastic rod
with a diameter of % in. (4.8 mm) based on elementary strength of
materials: E, 1.05E04 ksi; (72,390 MPa); L, 0.126 in. (3.2 mm);
diameter, % in. (4.8 mm); axial (EA/L),2.30E03 k (kilopound)/in.
(4.03E05 kN/m); flexural (E1 /L), 5.06 k/in. (8.86E02 kN/m); tor-
sional (GJ /L), 3.80 k/in. (6.65E02 kN/m).

The elastic shear stiffness of the fastener element is computed by
the following empirical relation developed by Swift*:

K ED 3)

M [A+C(D/t + D/1y)]
where E is the elastic modulus of sheet material, D is the rivet
diameter, #; and #, are thicknesses of joined sheets, and A =5.0
and C =0.8 for aluminum rivets. The initial shear yielding and
ultimate shear strength of rivets are assumed to occur at load levels
of 600 and 1080 Ibf (2.7 and 4.8 N), respectively. A 80 and 95%
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Fig. 4 Piecewise linear representation of the uniaxial stress-strain

curve for 2024-T3 aluminum.
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Fig. 5 Piecewise linear representation of the uniaxial stress-strain

curve for 7075-T6 aluminum.
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Fig.7 Shear stiffness and strength of spring for adhesive.

reductionof the shearstiffnessis assumedafter the initialand second
yielding. Once a rivet reaches its ultimate strength, it breaks and
loses its load carrying capacity. The force-deflection curve shown
in Fig. 6 for shearing is intended to represent, empirically, the net
shear stiffness of a rivet-joined sheet connection, accounting for
bearing deformations and local yielding around the rivet.?’

The adhesive bond between skin and tear strap is also modeled
with one-dimensionalfastenerelements. The shear stiffnessis com-
puted based on an effective area of the adhesive with®

Aeff
/G, + (2)t/G +1,/G)

G

K adhesive =

where A, is the bond area being lumped at the finite element nodal
connection, G is the elastic shear modulus of sheet material, G,
is the elastic shear modulus of adhesive, ¢, and #, are the thick-
nesses of bonded sheets, and ¢, is the thickness of adhesive bond.
Because no adhesive tests were conducted, the material properties
of adhesive G, and 7, were obtained from the experimental results
in Ref. 39. The maximum shear deflectionis assumedto be 0.001 in.
(0.025 mm). Similar to the rivet, once the fastener element for the
adhesive reaches its ultimate strength it breaks and loses its load-
carrying capacity. The force-deflection curve for shearing is shown
in Fig. 7. The axial stiffness of the adhesive spring is derived from
the shear stiffness by simply multiplying the ratio between elastic
and shearmodulus. The torsional and flexural stiftnessesof adhesive
are assumed to be negligible.

Both geometric and material nonlinearitiesare used in the analy-
sis at the global and local modeling levels. The global shell model
capturesthe overallnonlinearresponseof the stiffened, curved, pres-
surized structure. The local shell model provides the detailed defor-
mation and stress field near the crack tips to compute the fracture
parameters (e.g., CTOA) that control crack growth.

B. Determination of CTOA,

Flat-panel tests were conducted by the Boeing Commercial Air-
plane Group to obtain material properties for fatigue and fracture
analysisofthe curvedfuselage panels. Four 48-in.(1220-mm)-wide,
80-in. (2030-mm)-long, 0.063-in. (1.6-mm)-thick middle crack ten-
sion (MT) specimens were tested. Three specimens were tested with
guide plates to prevent out-of-plane buckling during crack growth.
The flat-panel specimens were made from the same aluminum sheet
used for the skin of the curved fuselage panels. A constantamplitude
cyclic loading was applied to propagate an initial sawcut. After the
fatigue crack growth a residual strength test was conducted under a
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monotonically increasing load. The test matrix prior to the residual
strength testis summarized in Table 1. Visual crack extension mea-
surements were taken. Surface CTOA . was measured for Specimen
2024_FAA_TL3 during the residual strength test. Nine values were
obtained, and the mean of the measured critical angles was about
5.5 deg with a scatter band about £1.0 deg.

The value of CTOA, used in the residual strength analysis of the
fuselage panels is determined by finding an angle within the scatter
band of the CTOA . measurements that best correlates with the ob-
served crack growth and residual strength of the coupon tests. The
FRANC3D/STAGS program is used to simulate fracture behavior
of the MT specimens. A finite element mesh that models a quarter
of the specimen with a crack-tip element size of 0.04 in. (1 mm) and
a half-plane-straincore height equal to 0.08 in. (2 mm) is shown in
Fig. 8. The half core heightis about the thickness of the specimen.

Figure 9 compares the predicted crack growth results to the ex-
perimental measurements. The CTOA,. of 4.5 deg best correlatesthe
predicted and measured residual strengths. However, it overpredicts
crack growth at lower applied stress levels at the earlier stage of
stable crack growth. The 5- and 5.5-deg critical angles give a better
correlation for the earlier crack growth but overpredictthe residual
strength by 8.5 and 14.3%, respectively.

The discrepancy between predicted and measured crack growth
at the earlier stage of tearing might relate to the residual plastic de-
formation left by the fatiguecrack growth. This effectivelyincreases
the crack opening resistanceduring early stable crack growth.** An-
other factor that might affect crack growth and residual strength is
the possible occurrence of short-wavelengthout-of-plane buckling,
although guide plates were used to prevent it. Such buckling in the
MT specimen could reduce its crack growth resistance and residual
strength*!

Table 1 Test matrix for MT specimens (after Ref. 33)

Half initial ~ Half final fatigue  Ofatigue»

Specimen ID crack, in. crack, in. ksi R
2024_FAA_TL3 2.0 8.0 8.0 0.1
2024_FAA_TL4 2.0 5.5 16.0

5.5 8.0 8.0 0.1
2024_FAA_TL5 5.0 12.0 12.0 0.1
2024_FAA-TL6 2.0 8.0 7.0 0.5

V. Strain Gauge Comparison

Strain gauge comparisons are made to verify predicted stress dis-
tributions at the onset of crack growth. Figure 10 shows the overall
deformed structures for both the global and local models. Conver-
gence studies are conducted to ensure accuracy of deformationsand
stress distributions.!® Major results from the studies are summarized
next:

1) For global models the predicted results converge quickly. The
predicted membrane hoop stresses agree well with experimental
measurements. The predicted bending hoop stresses are compara-
ble to experimental measurements as one refines the finite element
meshes (Fig. 11).

2) Predicted results from a local model with about the same
mesh density as the correspondingregionin the global model agree
well with global model predictionsand experimentalmeasurements.
The agreement ensures the transition accuracy in the hierarchical
modeling.

3) Results with a much higher mesh density that is suitable for
crack growth analysis disagree with the rest of the numerical predic-
tions and experimentalmeasurements. The discrepancyis thoughtto
be related to the idealized representation of the two-noded fastener

30
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Fig.9 Predicted applied stress vs crack growth for 48-in. (1220-mm)-
wide MT specimen [half-plane-strain core height = 0.08 in. (2 mm)]: O,
2024_FAA_TL3; A, 2024 FAA_TL4; and —, predicted results.
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Fig.8 Finite element mesh for one quarter of 48 X 80 in. (1220 X 2030 mm) MT specimen.
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local modelinglevels [pressure = 9.4 psi (64.8 kPa), crack length =38.2 in.
(970 mm), magnification factor = 5.0].
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Fig.11 Global convergence study: comparison between computed and
measured hoop stresses (pressure = 9.4 psi (64.8 kPa); crack length =
38.2 in. (970 mm); frame cut; no MSD): O, strain gauge measurement;

- -, global model (coarse mesh); - - -, global model (fine mesh); and
——, global model (finer mesh).

element for the rivet connection in the finite element model.?”-4?
The single-point connection results in unrealistic distortion of the
surrounding shell elements. The local distortion causes premature
yielding of the shell elements and reduces the load transfer from
sheet to rivet. This artificial distortion of the shell elements is dis-
cretization dependent (Ref. 42, pp. 318-327). Refining the mesh
captures the local artificial distortion better, but makes the compar-
ison to strain gauge readings worse.>’

One approach to avoiding this artificial effect is to faithfully rep-
resent the geometry of the rivets and their interference with the
sheets. This would considerablyincrease the required computational
resourcesand might not be simple to implementin thin-shell elastic-
plastic crack growth analysis.

A computationallymore efficient approachadaptedin the present
study is to generate distributed connections between the two-noded
fastener element and the surrounding shell elements.?” The load
distributioncan be accomplishedby defining rigid links, stiff spring
elements,or aleast-squaresloading conditionto connectthe fastener
node to the surrounding shell-element nodes. Care must be taken
while defining the area in the shell elements over which the rivet

stiff spring

7 rivet spring

Fig. 12 Illustration of distributed connection that connects a fastener
node to surrounding shell nodes.

IS
=

20

10

O
=
~0
. ~
/P
7’
0

=
<

-10

Membrane Hoop Stress (ksi)
8
Bending Hoop Stress (ksi)
=

0 =20
S—2R/A4L S—3R/3L S—4R/2L.  S-2R/AL S—3R/3L S-4R/2L
Stringer Location Stringer Location

Fig. 13 Effects of distributed rivet connection: comparison between
computed and measured hoop stresses [pressure = 9.4 psi (64.8 kPa),
crack length = 38.2 in. (970 mm); frame cut; no MSD]: O, strain gauge
measurement; - - - -, local model; - - -, local model with distributed con-
nection; and ——, global model (finer mesh).

load is distributed. The area should be of the order of the rivet
cross-sectional area because distributing the load over a larger area
can inadvertently stiffen the shell elements. Figure 12 illustrates
simulation of the distributed connectionusing stiff spring elements.
The spring elements are assigned a stiffness an order of magnitude
higher than that used for the rivet fastener elements to distribute the
rivet load. Figure 13 shows the predicted hoop stress distributions
with distributed connection simulations. A much better prediction
is observed with the local mesh model.

The distributed connections might not be suitable to model the
rivets located on the tearing path, for which the near-tip deformation
islikely to be biased by such an arrangement.In our cases the tearing
path is situated next to the rivet row connecting the skin/strap to the
stringer (Fig. 14). When the cracked panel is subjected to pressure
loading, we expect that the crack flank near the stringer is likely
to experience much less deformation than the other. We thus apply
a heuristic approach: only the shell elements on the less-deformed
side of the crack are used to model the distributedrivet connection.
Although this arrangement is not universally applicable, it works
well in the present work; the unrealistic distortion caused by the
single-point connection is eliminated while the undesired effects
on the near-tip deformation from the distributed connections are
avoided.

VI. Crack Growth and Residual Strength Analysis

Elastic-plastic crack growth and residual strength analyses are
conducted using the local model. Both 4.5- and 5.5-deg critical
angles computed at 0.04 in. (1 mm) behind the growing crack tip are
used to investigate the sensitivity of CTOA, on stable crack growth
and residual strength prediction. The 4.5-deg CTOA. is the angle
that best correlates the predicted and observed residual strengths
of the MT tests. The 5.5-deg angle is the mean from the surface
CTOA . measurementsin the MT tests. The plane-strain core height
is 0.16 in. (4 mm) along the prescribed tearing path.

Figure 15 shows predicted results from the first attempt for stable
crack growth analyses. The change of the CTOA, from4.5t05.5 deg
increases predicted residual strength by about 33 and 22% for the
cases without and with MSD cracks, respectively.

Although analysis results in Fig. 15 clearly demonstrate the loss
of residual strength as a result of the presence of MSD, all of the
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predicted results underestimate the pressure loading to initiate the
stable crack growth and overestimate the residual strength.

The much lower-predicted pressure for tearing initiation s likely
caused by residual plastic deformation left by the fatigue crack
growth. A possible cause for the lower residual strengths observed
in the test might be related to the occurrence of tear strap failure.
Both effects are discussed next.

A. Residual Plastic Deformation Effects

The test panels were subjected to pressure cycling prior to the
residual strength test. To incorporate the residual plastic deforma-
tions caused by the cyclicloading, the residual strength analyses are
reperformed using an elastic-plastic cyclic loading simulation sug-
gested by Newman.*® The procedure consists of the following steps:

Step 1: Close an appropriate length of fatigue crack.

Step 2: Load the fuselage model up to the maximum pressure
loading conducted in fatigue tests.

Step 3: Release the crack-tip node and unload the model.

Step 4: Repeat steps 2 and 3 until the crack tip reaches the initial
position for stable tearing.

This procedure implies that the fatigue crack only propagates at
the maximum pressure during the cyclic loading simulation. For
Mode I-only deformations under constant-amplitudeload cycling,
crack surfaces close at a positive applied load (i.e., step 3). The
contact stresses cause the material to yield in compression. How-
ever, crack face contact and compressive yielding are ignored in the
current simulations.

In subsequentanalyses the fuselage model is brought to the oper-
ating pressurelevel during fatigue tests withoutallowing the crack to
advance. The crack is then allowed to advance one element, and the
load is returned to zero. Figure 16 plots results for a 0.32-in. (8-mm)
length (eight elements) of fatigue crack closure used in the analysis
for the case without MSD cracks. After two cycles of simulations,
we observe that the crack-openingand crack-closure pressure have
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Fig. 16 Predicted crack-opening and crack-closure pressure under
cyclic loading [cyclic pressure = 8.6 psi (59.3 kPa), no MSD].

Fig.17 Predicted crack opening profiles of outer skin at initial tearing
crack tip: a) case without fatigue crack closure and b) case with 0.32-in.
(8-mm) fatigue crack closure (no stable crack growth, magnification
factor = 2.0).

stabilized. This implies that the residual plastic deformationscaused
by the cyclic loading are satiated in the model. We also performed
several analyses with various lengths of fatigue crack closure; our
numerical results suggest a 0.08-in. (2-mm) length (two elements)
of fatigue crack closure is sufficient to model the residual plastic
deformation effects.

Figure 17 shows two predicted crack opening profiles with and
without fatigue crack closure effect when the pressure loading
reaches 8.6 psi (59.3 kPa) (no growth). The effects of residual plas-

Table 2 Predicted and observed loading for tearing initiation

Predicted, psi (6.89 kPa)

Case CTOA.=4.5deg CTOA.=5.5deg Observed, psi

No MSD 2.3 2.7 8.3

No MSD [0.32-in. 8.3 8.4 8.3
(8-mm) closure]

MSD 2.5 2.8 6.7

MSD [0.08-in. 6.3 6.5 6.7

(2-mm) closure]

tic deformations on the crack opening profile and consequently, the
CTOA prediction, are clearly observed.

The 7.2-psi (49.6-kPa) crack-opening pressure shown in Fig. 16
seems to be too high in comparison with two-dimensional plane
stress results*? and laboratory observations***> This might be as a
result of the lack of modeling of contact conditions when the crack
closes. Thatis, the crack faces pass each otherso thatno compressive
yieldingis developedin the unloaded state. The compressive yield-
ing stress would reduce residual tensile plastic deformation thus
leading to a lower crack-opening pressure** The crack face over-
lapping problem might be overcome by incorporating gap elements
into shell analyses.

For the MSD caseitis notclearto whatextentwe shouldmodel the
residual plastic deformations at the MSD crack tips. In the present
study we simply assign a 0.08-in. (2-mm) length of fatigue crack
closure for both the lead and MSD cracks. During cyclic loading
simulation,the lead and MSD crack tips are released simultaneously.
Figure 18 shows the predicted crack-opening and crack-closure
pressure for the MSD case. Further studies are needed to rationalize
this approach for the MSD cracks.

Figure 19 shows predicted stable crack growth incorporating the
residual plastic deformation effects. Table 2 summarizes the pre-
dicted and observed starting pressure to initiate stable crack growth.
The plasticity-inducedresidual deformations increase the initiation
pressure by about 150 to 210%. The predicted crack initiation loads
are within 6% of experimentalmeasurementsfor the casesthatincor-
porate prior plastic residual deformations caused by fatigue crack
growth. However, the predicted residual strengths are still higher
than those observed.

B. Effects of Tear Strap Failure

One possible cause for the lower residual strengths observed in
the test is the occurrence of failure of other structural elements.
Figure 14 shows the predicted effective stress distribution in the
outer skin, inner skin, outer tear strap, and inner tear strap as the
stable crack growth analysis reaches 9.86-psi (68.0-kPa) pressure
loading for the case without MSD cracks. Net section yielding is
clearly shown in the inner tear strap.

The breakage of the inner tear strap during the residual strength
test was also hypothesized in Ref. 33. To further investigate this
damage scenario, a tear strap with rivet holes is modeled. By taking
the kinematic boundary conditions from the local fuselage model, a
stress concentrationaround the holes is observed (Fig. 20). It is then
postulated that the high stress concentrationis likely to initiate new
cracks from the rivet holes thus leading to breakage of the inner tear
strap.

To incorporate the tear strap damage scenario into the crack
growth analysis, the inner tear strap is cut prior to fatigue crack
closure and stable crack growth analyses as illustrated in Fig. 21.
Figure 22 shows the predicted stable crack growth and residual
strength for the fuselage models with a broken inner tear strap. The
predicted residual strength using 4.5-deg CTOA.. is within 13% of
the experimental observation for the case without MSD cracks and
within 1% of the experimental observation for the case with MSD
cracks.

Additional damage scenarios are examined to study the effect of
tear strap failure at various stages of stable crack growth. In these
analyses we cut the inner tear strap at predetermined amounts of
stable crack growth. Figure 23 shows the predicted stable crack
growth and residual strength using 4.5-deg CTOA., for the fuselage
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Fig. 21 Illustration of broken inner tear strap.

models without MSD cracks. For comparison, the predicted results
with an intact tear strap shown in Fig. 19 are also plotted. The
influence of the tear strap failure on residual strength prediction is
again observed. The occurrence of the tear strap failure at various
stages of stable crack growth affects the predicted crack growth
resistance, but this scenario has a very mild influence on residual
strength prediction.

The differencebetween predicted and observedresidual strengths
for the case without MSD cracks might be caused by excessresidual
plastic deformations modeled in the simulations. One way to re-
duce the plastic wake is to grow the crack at one-half the actual fa-
tigue load. The correspondingcrack-opening pressure with 0.32 in.
(8 mm) of fatigue crack closure for the case without MSD is 3.2 psi
(22.1 kPa). This, in conjunction with the tear strap damage scenario
and 4.5-deg CTOA ., predicts 9.34 psi residual strength for the case
without MSD (Fig. 24). The result is within 1% of the experimen-
tal observation. However, the crack tearing now initiates at loads
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much lower than those seen in the experiment, indicating that this
correlation might only be coincidental.

VII. Conclusions

This paper presents a study on ductile tearing simulation and
residual strength prediction of aircraft fuselages using the CTOA
fracture criterion and elastic-plastic thin-shell finite element anal-
ysis. A generic wide-body fuselage panel is used to validate the
analysis methodology. The major findings of this study are as fol-
lows:

1) The distributed connection for the rivet load transfer is cru-
cial for a finite element model with a high mesh density to predict
accurately the local stress distribution.

2) The occurrence of small MSD cracks substantially reduces
the residual strength of pressurized fuselages. The reduction in the
predicted residual strength caused by MSD varies from 28 to 47%.
A difference of 20% was observed in the tests.

3) The residual strength prediction is sensitive to changes in
CTOA.. Altering the CTOA, from 4.5 to 5.5 deg changes the pre-
dicted residual strength by 17 to 33% for the case without MSD
cracks. It changes the predictedresidual strength by 12-22% for the
case with MSD.

4) The residual plastic deformation or the plastic wake from fa-
tigue crack growth has a strong effect on stable crack initiation and
a mild effect on residual strength prediction. For crack growth initi-
ation it is essential to incorporate the plastic wake from the fatigue
crack growth to predictaccurately the tearing initiation. Neglecting
plastic wake effects leads to erroneous predictions of early stable
crack growth. For residual strength analysis the plastic wake in-
creases the predicted residual strength by 3-9%.

5) The breakage of the inner tear strap, a type of multiple-element
damage, is crucial to residual strength prediction. The occurrence
of the broken tear strap reduces the predicted residual strength by
24-30%.
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